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In this work, we propose a novel approach to reduce the size of the shock-induced
recirculation regions in scramjet inlets through the use of ramp fuel injectors.
The study is performed using UArizona’s CFDWARP code solving the Favre-
averaged Navier-Stokes equations closed by the revised Wilcox kω model with
dilatational dissipation and rapid compression corrections. The results obtained
are representative of hydrogen fuel injected after the first shock of a 2-shock
scramjet inlet at a flight Mach number of 7 and an altitude of 27 km. Injecting
fuel in the inlet leads to particularly high values of the cross-stream velocities
which reduce the size of the recirculation bubbles. This is attributed to the fuel
having a lower density than the air and thus being accelerated more strongly by
the pressure gradients. As opposed to previous methods which achieved partial
reduction of the separation length, fuel injection can lead to a complete elimina-
tion of the recirculation bubbles in scramjet inlets. To eliminate recirculations,
only one-third of the fuel needs to be injected in the inlet with the rest injected in
the combustor as usual.

Nomenclature

a = local speed of sound (m/s)
C f = skin friction coefficient
Cµ = jet momentum coefficient
cp = specific heat capacity (J/kg K)
Ddom = computational domain depth (m)
Dinj = injector width (m)
ek = internal energy of kth species

(J/kg)
hk = enthalpy of kth species (J/kg)
k = turbulent kinetic energy (m2/s2)
Lmixing = mixing length from injector plane

(m)
Lplate = entry region length (m)
ṁ = mass flow rate (kg/s)
M = Mach number
Mt = turbulent Mach number
P = pressure (Pa)
Prt = turbulent Prandtl number
Qk = production term of the k transport

equation
S ω = source term of the ω transport

equation
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Sct = turbulent Schmidt number
T = temperature (K)
vk

i = velocity of the kth species (m/s)
vi = bulk flow velocity (m/s)
x j = spatial coordinate (m)
y+ = non-dimensional wall distance
Yk = mass fraction of species

Greek Symbols

β = turning angle of shock generator
(deg)

ϵ = turbulent kinetic energy
dissipation rate (m2/s3)

η = dynamic viscosity (kg/m s)
τ ji = shear stress tensor
δi j = Kronecker delta
ϕ = equivalence ratio

γ = ratio of specific heats
ν = mass diffusion coefficient (m2/s)
κ = thermal conductivity (W/m K)
ρk = density of species k (kg/m3)
θd = injector expansion angle (deg)
θu = injector compression angle (deg)
ω = specific turbulent kinetic energy

dissipation rate (1/s)

Subscripts

t = turbulent contribution
0 = stagnation

Superscripts

⋆ = sum of molecular and turbulent
contributions

I. Introduction

S HOCK-BOUNDARY layer interaction in scramjet inlets can lead to large recirculation regions
that have a significant impact on the overall performance of the engine. Loss of mass flow,

unsteadiness due to the interaction and increased heat flux to engine materials are some of the
negative effects that can occur due to shock-boundary layer interaction. Several mitigation and
control strategies have been proposed for the problem of large separation regions arising in shock-
boundary layer interactions which can be classified into passive and active methods.

The passive approaches make use of cavities, porous surfaces [1], bumps [2], ducts [3, 4],
and other modifications of the geometry in an attempt to mitigate the adverse effects of shock-
boundary layer interactions. One of the most promising control techniques is vortex generators.
Vortex generators create streamwise vortices that energize the low speed regions near the wall
within the turbulent boundary layer, so that the boundary layer is able to overcome the pressure
rise due to the shock without a large separation taking place (see the experiments from Babinsky
et al. [5] and Lee et al. [6]). Although vortex generators were successful in reducing the size of
the separation regions, they did not fully eliminate them.

A second class of methods used to control SBLIs are so-called “active approaches”. One type
of active control is suction and tangential blowing [7]. Such was demonstrated to be successful
to mitigate separation regions but success was found to be very sensitive to the location of the
injection slot with respect to the shock position. This could be problematic when the inlet inflow
conditions vary substantially. Other types of active control such as the air-jet vortex generators [8]
or the plasma actuators [9, 10] also show limitations. For instance, experiments showed that plasma
actuators were only successful when used in combination with vortex-generating mechanisms and
could not remove completely the separation regions.

To this day, there is not a single control strategy either passive or active which may mitigate
and/or eliminate separation effects over a wide range of operating conditions [11].
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In this work, we propose a novel approach to reduce and potentially eliminate the scramjet inlet
recirculation regions arising from shock-boundary layer interactions. Such will be accomplished
by means of a fuel ramp injector array situated upstream of the impinging shock. This approach
differs from previous control strategies such as vortex generators in that vorticity is not only intro-
duced through the ramps but also through baroclinic torque originating from the fuel/air density
differences.

This paper is divided as follows. First, the RANS physical model is outlined along with a
description of the numerical methods used herein. This is followed by a validation of the CFD
code for a problem of relevance to this study. Then, the effect of fuel injection on scramjet SBLIs
is discussed.

II. Physical Model

Transport equations are derived for non-reacting multispecies flow (N2, O2, H2). We present the
transport equations after Favre-averaging as follows, with the variables that include the turbulence
contribution denoted as (�)⋆. Starting with mass conservation for each of the three neutral, non-
reacting species:
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where ν⋆k = νk + ηt/Sct is the mass-diffusion coefficient that includes the species mass diffusion
coeffcient νk obtained from kinetic theory [12], and with ηt the turbulent viscosity and Sct the
turbulent Schmidt number which is given a value of 1.0. Yk denotes the mass fraction of species
k. The total momentum equation is derived from the Navier-Stokes equations [13] to solve for the
bulk flow velocity vi:
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In a similar manner η⋆ = η + ηt is the sum of dynamic viscosity of the mixture η obtained with
Wilke’s mixing rule [14], and the turbulent viscosity ηt. The pressure P⋆ denotes the sum P+2ρk/3,
with P being the sum of all partial pressures and k is the turbulent kinetic energy. Total energy
transport equation:
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Here, the effective thermal conductivity κ⋆ = κ + ηtcp/Prt is the sum of the thermal conductivity κ
of the mixture obtained from the Mason and Saxena relation [15]. The turbulent contribution to the
latter makes use of the turbulent Prandtl number Prt given a typical value of 0.9. Thermodynamic
properties such as enthalpy are obtained from the NASA Glenn polynomials [16]. Closure from
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turbulent kinetic energy and specific dissipation rate ω transport equations employs the revised
Wilcox kω 2008 model [17] in which for the k diffusion term η⋆k = η + 3ρk/5ω. The revised
kω turbulence model is outlined in the following transport equations. First, for the transport of
turbulent kinetic energy k:
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The turbulence production term Qk written in explicit form is:
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The remaining terms on the right hand side of the k transport equation are, according to the 2008
model, ϵ = 9

100kω. Should the Wilcox dilatational dissipation correction [18] be used, its form is
f (Mt) = 3

2 max
�
0, M2

t � 1/16
�
. In the latter, Mt is turbulent Mach number set to

p
2k/a, where a

is the local speed of sound. In dealing with hypersonic mixing in a turbulent flow, this correction
term can be used for increased accuracy. Finally, the transport equation for the specific rate of
dissipation of turbulent kinetic energy, ω:
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where η⋆ω = η + ρk/2ω in the term related to the diffusion of ω and according to the revised 2008
kω model, S ω is set to:
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Likewise, Qω is set to:
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where χω is outlined explicitly as follows:
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Naturally, the above transport equations are solved with the averaged mass, momentum and en-
ergy equations in a coupled manner. The compressibility corrections introduced in the turbulence
models such as the dilatational dissipation term are expected to have a significant impact on the
solution. In the context of this work, the ability to predict the span of recirculation regions in
shock-boundary layer interactions is of importance. A rapid compression correction was proposed
by Coakley & Huang [19] to ensure that the turbulence length scale doesn’t vary greatly when
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undergoing rapid compression and improve the calculations of separation regions. In such modifi-
cation, the production term Qk in the Qω expression (eq. 8) for the ω transport equation is altered
to read:
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The ad hoc rapid compression modification therefore impacts the dilatation term 2
3δi jρk ∂vi

∂x j
on

Qk that is non-zero for compressible flow, and the coefficient preceding the dilatation term in Qω is
increased from about 1/3 to a value of 4/3 greater than unity. This modification limits the growth
of the turbulent length scale [19] when undergoing rapid compression. On the other hand, the
dilatational dissipation correction is apt for compressible mixing layers and such is the scenario
found with fuel/air mixing downstream of the injector array. It is clear then that both corrections
should be kept in mind when dealing with a complex flow that exhibits a combination of high-speed
mixing and a strong shock interaction near the wall.

III. Numerical Methods

The physical model outlined above is solved numerically using the CFDWARP code. The
numerical scheme makes use of Roe averaging [20] for the convective fluxes and second order ac-
curacy is achieved by means of the MUSCL (Monotone Upwind Scheme for Conservation Laws)
approach. A second-order interpolation limited through the Van Leer TVD limiter is used. A
positivity preserving filter [21] is deployed here to aid with the convergence process. Fast con-
vergence to steady-state is obtained through a block-implicit alternating direction implicit block
(ADI) method outlined in Ref. [22].

IV. Code Validation

The CFDWARP code has been validated against a wide range of different flow configurations.
Here, in order to assess the capability of CFDWARP to accurately predict the flow characteristics
of a representative shock-boundary layer interaction case, a comparison to suitable 2D experimen-
tal results is performed. The impinging shock-wave/boundary-layer interaction experiments of
Schülein et al. [23, 24, 25] have been widely used as a benchmark case and are selected for present
validation.

β

350 mm

500 mm

T0 = 410 K 

P0 = 2.12 MPa 

M = 5 

x
flat plate 

shock generator

inviscid shock

Tw = 300 K 

Fig. 1: Geometry of the experimental test model from [25].
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A schematic of the experimental setup is given in Fig. 1 and consisted of a flat plate over
which the turbulent boundary layer develops, with a sharp leading edge (thickness of approxi-
mately 0.1 mm) and is 500 mm in length and 400 mm in width. The shock generator plate (300 mm
in length and 400 mm in width), is positioned above the main plate so that the inviscid shock im-
pingement position is 350 mm from the leading edge of the lower plate. In the experiments, the
deflection angles of the shock generator corresponded to β = 6º, 10º and 14º, the latter creating
the strongest interaction and development of a significant separation zone. The freestream condi-
tions in the test section are a Mach number of 5, total temperature of 410 K and total pressure of
2.12 MPa. The wall temperature of the test model during the experimental runs was 300 � 5 K.
Simulations will cover the strongest interaction cases (β =10º, 14º) as no separation was reported
in the β = 6º experimental run. To further investigate the impact of compressibility corrections
on the 2008 kω turbulence model used in our simulations, the flow is resolved using the rapid
compression correction (RCC) and the Wilcox dilatational dissipation correction (DDC) outlined
in Section II. as well as the base kω model without any corrections.

Prior to comparison with experimental results, a grid convergence study is conducted to assess
the numerical error coming from the grid. The case corresponds to shock impingement on a tur-
bulent boundary layer developing over a flat plate. Inflow conditions are prescribed according to
those from the experimental test run, fixing a wall temperature of 300 K. The impinging shock is
generated by specifying the after-shock inflow conditions corresponding to each of the shock gen-
erator angles, using the Rankine-Hugoniot relations. The base flat plate grid size is 200 � 100 � 10
with 44% of the grid lines along x and 70% of the grid lines along y located within the shock in-
teraction region, using a smooth transition to the regions with less density, and along the domain
depth the gridding is equispaced. Near the wall, node clustering is exponential with up to wall
node spacing of 40 µm for this base grid. The up to the wall node distance scales accordingly as
the grid is refined. We seek y+ values less than unity for correct resolution of the laminar sublayer.
The grid is successively refined by doubling the number of grid lines on each spatial dimension.

Simulations show that, for the rapid compression fix (RCC), the error in separation length
between the finest grids is 1.8% with separation lengths of 76 mm and 77 mm respectively, and
with the coarsest grid predicting an earlier separation point, the error being 2.4%, and a total
separation length of 77.1 mm. The solution using the dilatational dissipation correction (DDC)
predicts a much larger separation. Solution with the base grid predicts a separation length of
110.2 mm, 67% lower than the finest grids, while these result in separation lengths of 168.9 mm
and 170.7 mm, giving an error of less than 1.1%. Because of the small error between the finest
grids in both cases, a 400 � 200 � 20 grid is chosen for the simulations of this validation case.

The results are summarized in Fig. 2 and compared to experimental measurements. For the
case β = 10º the base kω model resulted in an important underprediction of separation length.
Correcting the model for compressibility greatly improved the predictions, with RCC reproducing
the separation length almost exactly. Wall pressure trends follow experimental data with some
discrepancy. The strongest interaction case of β = 14º is accurately predicted using RCC for both
skin friction and wall pressure evolution. The dilatational dissipation correction (DCC) greatly
overpredicts separation length in this case. Although not shown here, simulations simultaneously
using both corrections were also explored, resulting in an unreasonably large separation length
prediction for the strongest interaction case. The overprediction of separation span when using the
dilatational dissipation correction is attributed to the limited turbulent kinetic energy production,
thus lowering the turbulent viscosity and leading to an earlier separation of the boundary layer.
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(b) Wall pressure. β = 10º
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(c) Skin friction. β = 14º
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(d) Wall pressure. β = 14º

Fig. 2: Comparison of skin friction and wall pressure with experimental results [25] for a flat plate
boundary layer at M = 5 in the presence of an impinging shock of flow turning angles β = 10º and
β = 14º. Shock impingement occurs at x = 350 mm in all cases.

V. Problem Setup

The scramjet engine flight conditions correspond to a flight Mach number of 7 at a US stan-
dard atmosphere [26] altitude of 27 km. The scramjet inlet follows a 2-shock design where the first
external compression shock terminates in the engine cowl lip, so that the injector array is placed
between the first shock and the second shock that impinges on the upper wall before the combus-
tor, according to the schematic in Fig. 3. Fixing a temperature of 1150 K before the combustor, air
conditions before the second shock and the injector array can be calculated and result in a Mach
number of 4.335, static pressure of 15,444 Pa and static temperature of 506.8 K. Fuel inflow con-
ditions are obtained fixing the equivalence ratio to ϕ = 1 (stoichiometric mixture) and a total fuel
reservoir temperature of 1700 K. Static pressure of the fuel inflow is selected to match that of the
air flow, in order to reduce the possibility of premature ignition due to large pressure gradients.

The injector type considered has a conventional unswept compression-expansion ramp geom-
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Fig. 3: Scramjet schematic with injector array location.

etry. The array setup with all relevant dimensions is illustrated in Fig. 4. Incoming air �ows over
the wall with a speci�ed lengthLplate = 0.5 m and reaches an array of injectors, mixing with the
fuel injected downstream. Hydrogen is injected in the direction parallel to the lower wall along the
Lmixing = 0.45 m distance. Additionally, the injector geometry is completely speci�ed giving the
angle of the expansion ramp� d = 8� , the compression angle� u = 12� , an horizontal span length
Linjector = 0.08 m, the injection face half-widthDinj = 0.01 m and a parameter to account for ar-
ray spacing: the distance between the injection face center and the symmetry plane between two
injectors,Ddom = 0.03 m. Two additional cases are also considered for further investigation on
the e� ects of geometry and fuel momentum, with fuel lean injection both on the baseline array
geometry and an "Improved" geometry obtained by decreasing the expansion trough angle� d from
8º to 1.6º and increasing the injector compression angle� u from 12º to 18º, resulting in identical
fuel lean in�ow conditions. Table 1 outlines the fuel in�ow conditions discussed.

Fig. 4: Geometry of the ramp injector array with the location of the reference axis system.

In the computational domain, boundary conditions include supersonic in�ow for the incoming
air�ow and the fuel injection planes located atx = 0:08 m, and supersonic out�ow for the mixture
leaving exiting the domain afterLmixing. Fixed temperature of 1000 K, no-slip boundary conditions
are speci�ed on the wall. The injector array is assumed to repeat inde�nitely alongz, such that a
symmetry boundary condition is imposed on the lateral boundaries of the computational domain.
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Table 1: In�ow conditions for the fuel mass �ow rates considered.

Case Geometry Fuel injection �mH2, kg/ms MH2 VH2, m/s P0;H2, Pa PH2, Pa T0;H2, K TH2, K � H2, kg/m3

1 Baseline Stoichiometric 0.607 4.27 6166.9 3.32�106 1.54�104 1700 359.3 0.01
2 Baseline Lean 0.202 2.19 4894.3 1.63�105 1.54�104 1700 855.6 0.004
3 Improved Lean 0.202 2.19 4894.3 1.63�105 1.54�104 1700 855.6 0.004

a Fuel mass �ow rate �mH2 given per unit depth of the domain.

From this, the depth of the computational domain can be reduced, e� ectively becomingDdom. The
upper part of the computational domain has a height of 0.1 m measured from they = 0 plane
according the axis system shown in the array detail. In order to generate the incoming impinging
shock, the top boundary of the computational domain is set to in�ow of the incoming air up to a
positionxshock= 0.174 m from which the conditions after the shock are speci�ed. This will generate
an oblique shock extending from the top boundary to the wall surface overLmixing, as shown in
Fig. 5, reaching the lower wall atx = 0:4 m, approximately four injector lengths downstream of
the fuel injection point. The pressure ratio across the shock is �xed to 4 and the corresponding
in�ow variables are readily obtained from the Rankine-Hugoniot ideal shock relations.

Fig. 5: Schematic of the generation of the incident shock.

VI. Numerical Error

Residuals are closely monitored and convergence is obtained after a reduction of residual mag-
nitude of �ve to six orders of magnitude while tracking integrated �ow quantities until no changes
are observed in successive iterations.

The numerical error coming from the grid is explored by using skin friction as indicator, in-
creasing the number of grid lines from a base 195� 100 � 30 mesh by a factor of 1.3 in all spatial
directions. The grid density along thex andy directions is increased where the shock impingement
interaction takes place, with the incident shock reaching the lower wall atx = 0:4 m. In this way,
the interaction also takes place approximately four injector lengths upstream of the injection point.
Fig. 6 summarizes the results of the grid convergence study for this case, the di� erences between
the 330� 170 � 51 grid and the �nest 429� 220 � 66 mesh being smaller than for the coarser
grids. This is indicative of diminishing error with further re�nements and are not explored here as
computing times increase too steeply to be practical.
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(a) Rapid compression �x (b) Dilatational dissipation correction

Fig. 6: Grid convergence study of wall friction for the impinging shock-injector �ow �eld interac-
tion, using two di� erent corrections on the Wilcoxk! turbulence model.

VII. Results and Discussion

The separate e� ects of the ramp injector and the fuel injection on the SBLI are now studied.
Unless otherwise speci�ed, we use the dilatational dissipation (DDC) correction but not the rapid
compression correction(RCC) in conjunction with thek! turbulence model.

A. E� ect of Fuel Mass Flow Injected

We will now explore the impact of the presence of a high velocity fuel injection in the resulting
�ow �eld. Starting from the baseline injector array geometry, we assess the �ow behavior as we
move downstream from the injection plane, comparing the �ow characteristics with those observed
when no mass �ow is being injected on the same domain. In the results that follow, fuel is injected
at stoichiometric conditions with the incoming air �ow.

The �rst observed e� ect of fuel injection is an increased vorticity production. For both injec-
tion cases, a general view of the evolution of streamwise vorticity given in Fig. 7 showing thex
component of the vorticity vector at several stations. Without any mass injection, the main mech-
anism available for the production of streamwise vorticity is the cross stream shearing, as noted
by Waitz et al. [27] in the injector nozzle walls, caused by the migration of air from the high-
pressure gradient region due to compression on the injector ramp, to the lower pressure zone in
the expansion troughs between injectors. In fact, this onset of vorticity production coalescing into
two axial vortices can be observed in both cases at thex = 8 cm station (injection plane) by the
high vorticity magnitude very close to the injector side walls, indicating this cross-shearing. At the
x = 35 cm plane we remain inside the impinging shock interaction region, showing the breakdown
of the streamwise vorticity into a di� erent structure when no mass injection is present. In contrast,
with mass injection, the magnitude and presence of streamwise vorticity is signi�cantly larger and
remains so further downstream past the interaction zone (x = 50 cm). Clearly, this points to the
presence of an additional mechanism related to the shock-impingement on the injectant/air density
interface. Indeed, there exists a signi�cant density gradient because of the use of the light H2 injec-
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tant across this fuel/air mixing layer. Not only is this layer acted upon by the base shock forming
at the base of the injector array, but also by the strong impinging shock extending from the top
boundary. The pressure gradient due to the shocks, with a signi�cant component oriented in they-
direction, and the large fuel/air density gradient contained in streamwise planes result in a nonzero
cross-product known as baroclinic torque, an additional source of axial vorticity. Therefore, it is
because of the injection of fuel and its large density di� erence with the air stream that surrounds
it that a signi�cant net increase in streamwise vorticity is established downstream of the injection
plane.

(a) Without fuel injection (b) With fuel injection

Fig. 7: Streamwise vorticity component contours at severalx stations downstream of the injection
point. The injection plane is located atx = 8 cm.

The augmented vorticity production is also accompanied by a signi�cantly larger cross stream
velocity magnitude. In Fig. 8, the movement of �uid to the low pressure regions between injectors
can be con�rmed by the contours at the injection plane. Larger cross stream velocities are evi-
denced when fuel injection is present, with a maximum value close to 1000 m/s observed at the
x = 30 cm station. This is in contrast to the velocities observed without fuel injection, with an
almost two-fold decrease in magnitude to about 600 m/s. Past the region of interaction with the
impinging shock (x = 50 cm) the structures related to the axial vortices are clearly visible, showing
that without fuel injection, the size of the vortices and thus the region with larger cross �ow ve-
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locities is diminished, with a vortex height of approximately that of the injector, whereas with fuel
injection present the size of the vortex has almost doubled. Given the same �xed injector geometry
for the cases with and without fuel injection and identical array base and impinging shocks, the
existence of stronger cross �ow velocities must be attributed to the presence of mass injection.
This is because of the lower density regions existing downstream of the injector array due to the
use of the light H2 mass injection, resulting in a greater acceleration of the �uid in the presence
of identical pressure gradients (recalling that the fuel and air static pressures are matched). Thus,
an important e� ect of fuel injection is the introduction of regions with signi�cant cross stream
velocity magnitude and this is expected to have a role in controlling the inlet recirculations.

(a) Without fuel injection (b) With fuel injection

Fig. 8: Cross stream velocity magnitude contours at several relevant downstream stations.

The impact of the mechanisms discussed above on the recirculation regions is discussed next.
The e� ect of fuel injection is made clear by comparison with two cases: a solution without the
injector array present and a case using the baseline array design but without any mass injection
occurring. Substantial di� erences are observed by comparing the skin friction trends downstream
of the injection plane, shown in Fig. 9. On average, the presence of fuel injection results in a com-
plete removal of the recirculation, while the ramp injector array itself is not enough to control the
separation completely, similarly to previous e� orts using passive ramp vortex generators. Indeed,
without any mass injection the values of skin friction at the symmetry plane between two injectors,
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z = 3 cm, reveal a persisting large separation region of about 20 cm, indicating that the control
of the recirculation is limited to a region close to the injector symmetry plane. By using fuel in-
jection, however, the results are very encouraging, showing non-negativeC f averages where the
original separation occurs. These changes in the �ow due to mass injection are further con�rmed
by examining the numerical Schlieren contours presented in Fig. 10 at the symmetry plane between
injectors. An additional case with fuel lean injection is shown here, illustrating the in�uence of the
injectant momentum. For this case, the reduced fuel momentum is seen to be slightly less e� ective
in controlling the separation, and a small recirculation pocket spanning about 4 cm remains visible.

Thus, the control e� ectiveness of fuel injection is seen to scale with the injectant momentum.
This can be quanti�ed with the jet momentum coe� cientC� = �mH2VH2=� airV2

airLsep, whereLsep is
the recirculation length observed in the case without injectors. This parameter allows comparison
with earlier mass injection approaches. For the fuel lean and stoichimetric injection cases,C� is
1.6% and 5.8% respectively. Similar e� orts with tangential injection of air by Donovan [28] in a
Mach 3.4 oblique shock-boundary layer interaction and by Tindell et al. [29] in Mach 2.5 �ow
found some degree of success by reducing separation length by up to a factor of �ve with the
largest mass injection and oblique shock strengths resulting from 6 to 12 degree wedge angles.
There,C� ranged from 3% to 11%. It should be noted that these works did not employ a vortex
generating geometry in addition to mass injection, which remains a largely unexplored control
approach for scramjet inlets, with previous e� orts focused on normal shock or boundary layer
control in supersonic inlets. The �ndings presented here therefore suggest that fuel injection can
result in far better performance in controlling the separation with less momentum input required.

(a) C f at z = 3 cm (b) averageC f

Fig. 9: Skin �ction trends downstream of the injection plane, obtained at the symmetry plane be-
tween two injectors and a calculated average across the computational domain depth (z-direction).

B. Impact of Injector Geometry

Here we seek to isolate the e� ect of the injector array geometry in the �ow�eld. Under fuel
lean conditions, we compare the baseline geometry with an improved geometry that results from
decreasing the expansion trough angle� d and increasing the injector compression angle� u, corre-
sponding to cases 2 and 3 from Table 1. This results in identical injection area, with the fuel in�ow
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(a) No injector.

(b) No fuel injection.

(c) Fuel lean injection.

(d) Stoichiometric fuel injection.

Fig. 10: Numerical Schlieren (density gradient magnitude) contours obtained at the symmetryz-
plane between two consecutive injectors in the array.

conditions unchanged. Using this con�guration, the �rst observed e� ect is a very signi�cant im-
pact on the recirculations as the injector angle is increased. A numerical Schlieren comparison is
given in Fig. 11 showing that for this improved geometry the separation is completely eliminated,
while for the baseline case smaller separation regions persist on average. We can also con�rm
this by examining the skin friction trends of Fig. 12. Not only is there far better performance in
controlling the separation but the magnitude of skin friction is notably lower, which constitutes
an additional advantage. The physical reason behind these large di� erences thus warrants further
investigation.

We expect any substantial changes in the �ow�eld to be introduced by sources inherent to the
array geometry, in particular the altered shock con�guration and its e� ect on stagnation properties
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up to the injection plane. We can follow the evolution of the air �ow as it reaches the injector array,
which consists of alternate compression ramps and expansion troughs. Upon reaching the upper
ramp surface, a bow shock forms as the air�ow is compressed and re-routed to the lower pressure
regions in the channels between injectors, where an expansion has taken place. As we reach the
plane of injection, this �ow is turned again parallel to the freestream, forming a weak oblique
shock at the base of the array. Because the �ow is compressed irreversibly by the bow shocks,
its entropy will increase, which will in turn decrease the stagnation pressure and density of the
air. This e� ect would be expected to be ampli�ed as the compression ramp angle� u is increased.
However, measurements of �ow properties along streamlines going through the bow shock above
the injectors show that, by action of the bow shock, stagnation density decreases by 8% and 15%
for baseline and improved geometries respectively, while the air density magnitude around the
injection plane shows little variation between geometries. This indicates that the di� erences in
the �ow cannot be attributed alone to changes in air density by irreversibilities, and additional
mechanisms must be at play.

We can assess if changes of axial vorticity are behind the large variation in recirculation length.
Some di� erences are observed as we focus on the evolution of streamwise vorticity along the
injector array, given in Fig. 13 at several streamwise stations. Two sources of longitudinal vorticity
are identi�ed to be present [27]: 1) vorticity production due to misaligned density and pressure
gradients due to strong bow-shock curvature and 2) vorticity generation attributed to baroclinic
torque, here due to non-parallel fuel/air density gradient and pressure gradient from the weak shock
emanating from the base of the array. Both mechanisms are present in the baseline geometry, while
for the improved geometry the small expansion between injectors will form an extremely weak
oblique shock at the base of the array, and we therefore expect baroclinic torque deposition on
the mixing layer to not be a signi�cant source of vorticity here. The results show that although
there is a larger presence of axial vorticity in the improved geometry, its magnitude does not di� er
signi�cantly form the baseline. This implies that if baroclinic torque in the fuel/air interface is not
a primary mechanism here, then the presence of broader regions of axial vorticity levels must be
attributed to the stronger bow-shock and its curvature. Thus, the levels of streamwise vorticity are
found to be similar for both geometries and as such, there does not seem to be a direct link between
the presence of axial vorticity and the observed attenuation in recirculation length as we increase
the injection angle.

A notably larger cross-stream convection is identi�ed in the improved geometry, possibly mark-
ing the connection to the reduction in separation bubble length. This is veri�ed by measuring the
magnitude of the cross-stream velocity at streamwise stations, illustrated in Fig. 14. Note the sig-
ni�cant di� erences between both geometries at thex = 15 cm plane after fuel injection (x = 8 cm).
For the improved geometry, these regions of higher cross-stream velocity are located further from
the base of the array. If their presence cannot be linked to density or axial vorticity changes, then
this greater acceleration of the �ow in cross-stream planes must be explained in terms of di� er-
ences in pressure gradients. Indeed, larger pressure gradients are found near the base of the array
for the improved geometry, which act to accelerate �uid upwards and towards the lower pressure
air and injectant regions. These large induced upward velocities cause earlier migration of fuel
from the wall and result in a strong lift-o� of the fuel jet. Further downstream the impinging shock
impacts on the developing mixing layer, creating more axial vorticity due to baroclinic torque, and
further increasing convection. For the improved geometry this occurs much further from the wall.
The in�uence of the strong impinging shock is thus diminished and this can explain why the �ow
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is able to overcome existing pressure gradients without a separation taking place. It is therefore
possible to improve the �ow control performance of the fuel injector by altering its geometry in
cases where high blowing momentum might not available.

(a) Baseline geometry

(b) Improved geometry

Fig. 11: Numerical Schlieren contours obtained at the symmetryz-plane between two consecutive
injectors, fuel lean injection.

(a) C f at z = 3 cm (b) averageC f

Fig. 12: Skin �ction trends for fuel lean injection at the symmetry plane between two injectors and
the average across the computational domain depth.
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